This paper proposes a new approach to the design of a robot
Introduction
The modulation of actuator output stiffness can serve several purposes in robotic applications, many of these motivated by biological motor control strategies. For example, research suggests that humans achieve stable and effective interaction with a wide variety of environments by leveraging their ability to modulate joint impedance independently of joint torque ͑e.g. ͓1-4͔͒, and a significant body of research exists that highlights the role of variable compliance in enhancing the energetic efficiency of mammalian locomotion ͑e.g. ͓5-7͔͒. As proposed by Salisbury ͓8͔ and generalized by Hogan ͓9͔, one means of modulating actuator output stiffness is via feedback control. Such an approach can effectively modulate actuator ͑or manipulator͒ output stiffness, but as with all feedback control systems, provides the desired characteristics in a limited frequency range, and can jeopardize system stability, especially in cases of noncollocated load sensing. Additionally, closed-loop strategies offer little with respect to energetic efficiency, since feedback control is generally energetically nonconservative. In order to provide variable compliance without these limitations, several researchers have developed robot actuators with physically variable stiffness, which incorporate some open-loop mechanism to enable simultaneous control of actuator force and stiffness. Specifically, in order to implement a biologically inspired strategy of interaction during robotic manipulation without the limitations imposed by feedback control, LaurinKovitz et al. ͓10͔ proposed the design of a variable stiffness actuator that is loosely based on the configuration of the human musculoskeletal system. Their approach incorporates two ͑non-backdrivable͒ motors for a single joint ͑similar to the agonist/ antagonist musculoskeletal relationships in animals͒, each actuating a tendon through a nonlinear spring. As with a biological motor control system, the joint torque is a function of the difference of the motor efforts, while the joint stiffness is a function of the sum of the motor efforts, thus providing simultaneous control of joint torque and stiffness. Koganezawa and Yamazaki ͓11͔, Koganezawa and Ban ͓12͔, and English and Russell ͓13,14͔ proposed a variable stiffness actuator design of a similar structure. In order to leverage the energetic benefits of variable compliance for robotic legged locomotion, Hurst et al. ͓15͔ presented a different design for a variable stiffness actuator. Like the previously described approaches, their design incorporates two motors for each ͑kinematic͒ degree-of-freedom, but unlike the agonist/antagonist approaches, the design of Hurst et al. is essentially a series elastic actuator, where the stiffness of the series elastic element is modulated by the second motor ͑i.e., the second motor adjusts a spring pretension, which modulates its stiffness͒. Tonietti et al. ͓16͔ presented the design of a variable stiffness actuator that is structurally different but conceptually similar to the design of Hurst et al. Finally, in order to enhance the intrinsic safety of human/robot interaction, posed the use of an agonist/antagonist pair of McKibben artificial muscles to provide simultaneous control of position and ͑open-loop͒ stiffness in a similar manner to a biological motor control system. In essence they control the position via the difference of actuator pressures, while they control the stiffness with the sum. This paper presents an alternate configuration for an actuator with a physically variable output stiffness that offers a more compact package and requires less mechanical complexity than the aforementioned motor-spring designs. Unlike the work presented in ͓17,18͔, the proposed approach requires only a single actuator rather than two. Further, as subsequently shown, the proposed approach enables a greater dynamic range and bandwidth in the control of stiffness and force, relative to that demonstrated in ͓18͔. Like the work presented in ͓17,18͔, the proposed approach leverages the open-loop behavior of a pneumatic actuator, which inherently provides a series elastic component via the compressible gas dynamics. A typical pneumatic actuator is controlled via a single four-way spool valve, and as such, the actuator output stiffness is not controllable independently of the actuator force. By decoupling the single four-way spool valve into a pair of three-way valves, however, the pressure in each cylinder chamber can be independently controlled, and thus the actuator output stiffness of the cylinder actuator can be controlled independently of the output force. Like the agonist/antagonist systems previously described, the actuator force is a function of the difference between the chamber pressures, while the actuator output stiffness is a function of their sum. Thus, the only additional hardware required is an extra valve ͑for each actuator͒. As with the other ͑previously proposed͒ actuators, the stiffness is physical in nature ͑i.e., openloop͒, and therefore maintains its constitutive behavior throughout the frequency spectrum, with no potential for nonpassive behavior. It should be noted that Raibert in ͓19͔ suggests an actuator configuration similar to the one proposed herein, but does not describe the simultaneous force and stiffness control of this configuration. Rather, as utilized by Raibert, the actuator alternates between a force source ͑when the valves are open͒ and a spring ͑when the valves are closed͒. This paper presents an approach for the simultaneous stiffness and force control of the pneumatic actuator, and presents experimental results that characterize the force and stiffness tracking performance.
Modeling the Pneumatic Actuator
In order to implement simultaneous force and stiffness control, a two-input, two-output dynamic model of the actuator is briefly described. For the proposed variable stiffness actuator, the two model outputs are actuator force and output stiffness. The two inputs to the actuator are the respective valve commands. As in a typical pneumatic servo system, the commands are assumed to be valve areas, which are algebraically related to the valve spool displacement. Note that the servovalve spool dynamics are neglected, since these are typically significantly faster than the actuator dynamics. Finally, since mass flow rate through the valve is an algebraic function of the valve area, model formulation is simplified by assuming the model inputs are the respective mass flow rates into ͑positive͒ or out of ͑negative͒ the respective sides of the pneumatic cylinder. Specifically, modeling the flow through the valve as the flow of an ideal gas through a converging nozzle, the mass flow is algebraically related to the valve area command by the following relation:
where
and A v is the valve area command, P u and P d are the upstream and downstream pressures, respectively, ␥ is the ratio of specific heats, R is the universal gas constant, T is the gas temperature at the orifice, C f is the discharge coefficient of the valve ͑which accounts for irreversible flow conditions͒, and C r is the pressure ratio that divides the flow regimes into unchoked ͑subsonic͒ and choked ͑sonic͒ flow through the orifice. Thus, by commanding the valve orifice areas, the servovalves are algebraically commanding the mass flow rates into or out of each chamber of the cylinder, and as such, the mass flow rates through the respective valves are assumed to be the two actuator inputs. Note that, since the two valves are three-way valves, a positive valve command connects the pressure supply to the cylinder so that mass flows into the chamber ͑defined as positive mass flow͒, while a negative command connects the cylinder to exhaust, such that mass flows out of the chamber ͑defined as negative mass flow͒. The model is thus derived by describing the respective relationships between actuator force and chamber mass flow, and between actuator output stiffness and chamber mass flow. Based on the schematic of the pneumatic actuator shown in Fig. 1 , the force generated by the actuator is given by
where P a and P b are the absolute pressures inside each chamber of the actuator, A a and A b are the effective areas of each side of the piston, and A r is the cross-sectional area of the piston rod. In order to recover the mass flow rate inputs, the force equation is differentiated with respect to time
Assuming air is an ideal gas undergoing an isothermal process, the rate of change of the pressure inside each chamber of the cylinder can be expressed as a function of mass flow rate as
where P ͑a,b͒ is the absolute pressure inside each side of the cylinder, ṁ ͑a,b͒ is the mass flow rate command ͑where as previously described, a positive command indicates mass flowing into the chamber, negative indicates mass flowing out͒, and V ͑a,b͒ is the volume of each cylinder chamber. Thus, the dynamics from mass flow input to the force output is given by
The volume in each chamber is a geometric function of piston displacement x, given by
where L is the length of the actuator and ͉x ͉ Ͻ L /2 ͑i.e., the chamber volume is never zero͒. Thus, the dynamics from mass flow input to force output can be written as a function of the measurable states ͑i.e., the chamber pressures and piston displacement͒ as
The output stiffness of the actuator is defined by
where the actuator force is given by ͑3͒. Substituting ͑3͒ into ͑9͒ yields
The chamber pressures can be described as a function of displacement by assuming air is an ideal gas, such that
Substituting ͑7͒ into ͑11͒ yields an expression for pressures as a function of piston displacement: 
Differentiating with respect to x gives
Thus, the stiffness can be written as a function of the respective masses of air in each cylinder chamber and the piston displacement as
In order to recover the mass flow rate command inputs, ͑14͒ is differentiated with respect to time, which after simplification based on substitution from Eq. ͑12͒ yields the dynamics from mass flow input to the stiffness output as a function of measured states,
Note that the force dynamics ͑8͒ are influenced by the difference in valve commands ͑i.e., mass flow rates͒, while the stiffness dynamics ͑15͒ are influenced by the sum of the mass flow rates. The model as described by ͑1͒-͑15͒ can be expressed in control canonical form by defining the input vector such that it consists of the two mass flow rates, u = ͓ṁ a ṁ b ͔ T , and by defining the output vector such that it consists of the force and stiffness, respectively, x = ͓F K͔ T . As such, the system dynamics can be expressed as
Sliding Mode Controller Design
Given the two-input, two-output model provided by ͑16͒ and ͑24͒, a standard multi-input-multi-output sliding mode approach can be utilized for the simultaneous control of actuator force and stiffness. Note that sliding mode control was chosen to accommodate the model uncertainty in the nonlinear dynamics ͑e.g., the actual pressure dynamics will vary somewhat from the isothermal condition assumed in the model derivation͒. The bound for the uncertainty associated with the above model can be expressed by
where f i is the estimated value of f i , b is the estimated matrix of b, I is the 2 ϫ 2 identity matrix, and D ij is a positive constant. In order to develop an MIMO sliding mode controller for the system, first define a sliding surface vector s as
where F d and K d are the desired actuator force and stiffness, respectively. The corresponding sliding conditions for the two states are
͑28͒
where i is a strictly positive constant. In order to satisfy the sliding conditions in the presence of the model uncertainty, the MIMO sliding mode control law ͑as described in ͓20͔͒ is given by
where sgn͑s͒ is the robustness vector ͓k 1 sgn͑s 1 ͒ k 2 sgn͑s 2 ͔͒ T , and ẋ d is the time derivative of the desired input vector, which is defined as
͑30͒
The existence of a solution to these equations is guaranteed by the Frobenius-Perron theorem, as described in ͓20͔. Finally, the commands to the control valves are calculated by
where ⌿͑P u , P d ͒ is defined by ͑2͒.
lator should ideally maintain a low output stiffness, which minimizes the effective gain of the disturbance transfer function from position error normal to the kinematic constraint to the resulting force of interaction. Alternatively, for a manipulation task such as carving with a knife, the manipulator should ideally maintain a high output stiffness, which will minimize the effective gain from environmental disturbance force to a resulting error in desired trajectory. As described by Eqs. ͑16͒-͑24͒, the actuator output stiffness and force are coupled, and thus the achievable stiffness at any given time depends on the actuator force and the actuator state. This coupling is expressed more explicitly by substituting Eq. ͑12͒ into Eq. ͑14͒, so that the stiffness can be expressed in terms of pressure and displacement as follows:
For a non-negative desired force F d , the set of Eqs. ͑3͒ and ͑33͒ can be solved explicitly for K and P a , such that the expression for stiffness becomes
͑34͒
Normally P b is a positive value between atmospheric and supply pressure, and thus the minimum stiffness can be written as a function of desired force and displacement as
Further analysis of other cases gives the following expressions for the maximum and minimum stiffness:
͑37͒
As such, the cases of minimum and maximum actuator stiffness could be implemented by utilizing either Eq. ͑36͒ or ͑37͒, respectively, to determine the desired stiffness command to the previously described MIMO controller for a given desired force. Such an approach, however, operates outside of the control loop, and thus does not account for disturbances or tracking error ͑i.e., does not take into consideration the actual force, or more accurately, the actual cylinder pressures͒. In order to implement a more robust approach to obtaining a maximum/minimum actuator stiffness ͑i.e., one that is sensitive to disturbances and tracking error͒, the authors developed a control approach that operates inside the control loop on the control commands ͑i.e., on the mass flow rates͒, rather than the aforementioned command generator described by Eqs. ͑36͒ and ͑37͒. Rather than specify a given stiffness at any given time, the proposed approach leverages the presence of saturation in stiffness ͑i.e., the presence of Eqs. ͑36͒ and ͑37͒͒ and the fact that stiffness is a strictly positive quantity. Given these, the stiffness can be made and maintained at its maximum ͑in general fluctuating͒ value by maximizing its time rate of change ͑i.e., driving it as quickly as possible to its maximum value͒. Similarly, the stiffness can be made and maintained at its minimum ͑in general fluctuating͒ value by minimizing its time rate of change ͑i.e., driving it as Transactions of the ASME quickly as possible to its minimum value͒. As described by Eq. ͑15͒, the time rate of change of stiffness is linearly influenced by the ͑input͒ mass flow rates, and as such the maximum or minimum time derivative of stiffness can be obtained via the linear optimization of
where b 21 and b 22 are defined by ͑23͒ and ͑24͒. For stable force tracking, the mass flow rates should satisfy the sliding condition
This condition can be satisfied by the following equation between the inputs:
where b 11 and b 12 are given by ͑21͒ and ͑22͒, f 1 is given by ͑19͒, Ḟ d is the time derivative of the desired actuator force, and k 1 is the robustness gain satisfying ͑39͒. Moreover, the inputs ṁ a and ṁ b are bounded by an upper limit for which the corresponding valve is fully open to the air supply and a lower limit for which the corresponding valve is fully open to the exhaust. These constraints can be expressed as
where ṁ ͑a,b͒͑min,max͒ are functions of the state as given by ͑1͒, evaluated at the maximum valve area. Specifically, ṁ ͑a,b͒͑min,max͒ are given by
where P s is the supply pressure and P atm is the exhaust pressure. Note that the negative sign for ṁ ͑a,b͒ min pertains to the direction of mass flow, as previously discussed. Thus, the whole problem can be defined as maximizing or minimizing the objective function J as defined by ͑38͒ under the constraints ͑40͒-͑42͒. The optimization problem defined above can be solved with a linear programming approach. The control inputs for maximizing stiffness are given by
The control inputs for minimizing stiffness are given by
͑48͒
The corresponding commands to the control valves are calculated by ͑31͒ and ͑32͒.
Experimental Results
The force/stiffness controller was implemented on an experimental setup to demonstrate and validate the approach. The ex- perimental setup, which is shown schematically in Fig. 1 and in a photograph in Fig. 2 , consists of a 2.7 cm ͑1 1 16 in.͒ inner diameter, 10 cm ͑4 in.͒ stroke pneumatic cylinder ͑Numatics 1062D04-04A͒ controlled by a pair of proportional servovalves ͑FESTO MPYE-5-M5-010-B͒, each configured as a three-way valve as shown in Fig. 1 , and each supplied with air at an absolute pressure of 653 kPa ͑95 psia͒. The setup is instrumented with pressure sensors ͑FESTO SDE-16-10V/20mA͒, which measure the pressure in each cylinder chamber. Two sets of experiments were performed. In the first set, the piston rod was clamped to the table such that the piston displacement was constrained to remain at x = 0, and the desired force and stiffness were commanded directly to the MIMO controller. In the second set of experiments ͑the setup for which is depicted in Fig. 2͒ , rather than command the force directly, the force command was derived indirectly from a motion control outer loop, while the stiffness was commanded directly. Although this approach is arguably a less direct assessment of force control relative to clamping the piston and providing a desired force trajectory, it demonstrates force control in the presence of motion, and thus involves all terms in the force dynamics described in ͑8͒. In these experiments, the output of the pneumatic cylinder was connected to a linear slide, upon which a 10 kg mass was mounted, while the displacement of the slide ͑and actuator͒ was measured with a linear potentiometer ͑Midori LP- 100F͒, as depicted in Fig. 2 . The model and controller parameters used for the force/stiffness controller are listed in Table 1 . The PD control gains used in the position control loop in the motion control set of experiments are also listed in the table. Note that the model parameters ͑i.e., the first ten entries in the table͒ were either measured, calculated, or found via standard references, whereas the controller gains ͑i.e., the last four entries͒ were obtained by experimental tuning to balance tracking performance and sensor noise ͑i.e., higher gains provide better performance and better robustness to model uncertainty, but introduce more sensor noise into the output vector͒. Finally, it should be noted that actuator output stiffness, which cannot be measured directly, was computed based on ͑33͒ and the combination of measured chamber pressures and piston displacement.
Representative results of the first set of experiments ͑desired force and stiffness commanded directly and the piston displacement clamped͒ are shown in Figs. 3-5. Figure 3 shows simultaneous force and stiffness tracking, where the force command is a 4.0 Hz sinusoid with 50 N amplitude, and the stiffness command is also a 4.0 Hz sinusoid, varying between 7.0 and 9.0 N / mm. Note that, despite unmatched initial conditions, the trajectories converge fairly quickly to the desired trajectories. Figures 4 and 5 demonstrate the ability of the system to independently track force and stiffness. Specifically, Fig. 4 shows 0.25 Hz force tracking and simultaneous 4.0 Hz stiffness tracking ͑with the same amplitude variations in Fig. 3͒ , while Fig. 5 shows the reverse. In addition to the force and stiffness trajectories, the pressure variations in each cylinder chamber are also shown in Figs. 4 and 5. As is clear in the pressure plots, the force is a function of the pressure difference, while the stiffness is a function of the pressure sum.
Representative results of the second set of experiments ͑desired force commanded inside of a PD motion control loop, desired stiffness commanded directly͒ are shown in Figs. 6 and 7. Figure  6 shows the force and stiffness tracking when the force commands are generated by a PD motion controller tracking a 20 mm amplitude, 0.5 Hz sinusoidal motion trajectory, and when the stiffness commands are generated directly as a 0.5 Hz sinusoidal variation in stiffness between 7.0 and 9.0 N / mm. Specifically, Fig. 6 shows the desired and actual motion, along with the motion tracking error; the desired and actual force, along with the force tracking error; and the desired and actual stiffness, along with the stiffness 
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Transactions of the ASME tracking error. Note that the force command is closely representative of the position tracking error. Both the nonsinusoidal shape of the position error ͑and force command͒ and the fact that the maximum errors occur at motion reversals indicate the clear presence of Coulomb friction in the system, presumably in the piston seals. Note that the maximum force tracking error is approximately 5%, while the maximum stiffness tracking error is approximately 2% ͑relative to the amplitude variation͒ with the major difference being the significantly higher frequency content of the force trajectory, due to the aforementioned Coulomb friction. Figure 7 shows the force and stiffness tracking when the force commands are generated by the same PD motion controller tracking a 2.0 Hz sinusoidal motion trajectory, and when the stiffness commands are generated directly as a 4.0 Hz sinusoidal variation in stiffness ͑with the same amplitude variations represented in Fig.  6͒ . Like Fig. 6, Fig. 7 shows the desired and actual motion, along with the motion tracking error; the desired and actual force, along with the force tracking error; and the desired and actual stiffness, along with the stiffness tracking error. Note that the position error and corresponding force command are more sinusoidal in this case, since the dynamics become more inertially dominated ͑and hence proportionally less influenced by friction͒ due to the higher accelerations. Note that both the force and stiffness maximum tracking errors are approximately 10%, relative to the amplitude of variation.
Figures 8 and 9 show the force tracking corresponding to a 0.5 Hz sinusoidal command in motion while maximizing stiffness and minimizing stiffness, respectively. Note that the maximum and minimum stiffnesses are not constant, but rather are functions of the cylinder configuration as expressed in ͑14͒. Note also the "frequency doubling" effect in the stiffness variation, due to the squared terms in ͑14͒. The variation in stiffness between the two conditions ͑maximum relative to minimum͒ is approximately a factor of 6, and as such provides a significant dynamic range in achievable stiffness. The dynamic range of the stiffness could be increased further by using a higher supply pressure ͑relative to the 80 psig used in these experiments͒.
Conclusion
This paper proposes the use of a pneumatic actuator as a variable stiffness actuator. These actuators are well suited to such a task, since they are inherently series elastic actuators, and through the use of two three-way servovalves rather than a single four-way valve, the output stiffness can be controlled simultaneously with the actuation force. The net result is a robot actuator capable of modulated output stiffness with a minimal amount of associated hardware. This paper describes an approach to simultaneously control actuator force and stiffness, and presented experimental results that demonstrate the effectiveness of the proposed approach. Among the performance attributes are a stiffness tracking bandwidth equivalent to the force tracking bandwidth, and an approximate factor of 6 dynamic range in stiffness ͑which could be increased with an increased supply pressure͒.
